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Core and Face-Sheet Anisotropy in Deformation
and Buckling of Sandwich Panels

Jörg Hohe∗

Fraunhofer Institut für Werkstoffmechanik, 79108 Freiburg/Breisgau, Germany
and

Liviu Librescu†

Virginia Polytechnic Institute and State University, Blacksburg, Virginia 24061

A theoretical study of the effects of face sheets anisotropy and of the transverse compressibility of the core on
buckling and deformation of sandwich flat/curved panels is presented. Additionally, the effect of core orthotropy is
addressed. The analysis is carried out in the context of a newly geometrically nonlinear higher-order sandwich shell
model developed by the authors. An analytical solution is obtained by means of an extended Galerkin procedure.
Both the overall buckling mode and the local face wrinkling instability mode are addressed. It is observed that the
global and local instabilities are coupled rather than being independent features. Furthermore, the face wrinkling
instability might have a considerable effect on the overall deformation behavior of the structure in the (global)
prebuckling range. Both the stacking sequence of the face sheets and the orthotropicity of the core are found to
have a significant effect on the occurrence of the different instability modes.

Nomenclature
Ai j , Di j , = stiffness components
Fi j , Hi j

Ei j , Gi j , νi j = anisotropic elasticity constants
li = panel edge lengths
Mi j , Ni j = stress couples and stress resultants
m, n, p, q = number of sine half waves for the different

stability modes
Qi j = reduced stiffness matrix
qi = transverse pressure loads
ri = radii of curvature
T = kinetic energy
t = layer thicknesses
U = strain energy
ui ,

◦
ui = shell midplane displacements and initial

geometric imperfection
vi = three-dimensional shell displacements
W = work done by external loads
w,

◦
w = modal amplitude of transverse displacement

and initial geometric imperfection
xi = Gaussian orthogonal coordinate system
γi j = Green–Lagrange strain tensor
γ̄i j , κi j = two-dimensional strain component measures
δ(. . .) = variation of a quantity
εi j = permutation symbol
λ, µ = wavelength parameters
ρ = mass density
τi j = second Piola–Kirchhoff stress tensor
	 = Airy stress function

i = higher-order displacement functions
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Superscripts

a = average of quantities related to the top
and bottom face sheet

b = quantities related to the bottom face sheet
c = quantities related to the core
d = half difference of quantities related to the top

and bottom face sheet
t = quantities related to the top face sheet

ˆ = prescribed quantity

¨ = second derivative with respect to time

I. Introduction

S TRUCTURAL sandwich panels are important elements in mod-
ern lightweight construction. The principle of sandwich con-

struction is well established in all fields of aerospace technology.
Nowadays, sandwich panels today can be found in many other tech-
nological fields such as in high-speed ferries, high-speed passenger
trains, or automotive applications. Especially in the naval industry,
there is a strong trend to use sandwich shells in the construction
of ship hulls. Other innovative examples include civil engineering
structures, such as highway bridge decks.

The typical structural sandwich panel consists of three principal
layers, where two high-density face sheets are adhesively bonded
to a low-density cellular core (Fig. 1). In most cases, the core is
made from a two-dimensional cellular structure or a foamed mate-
rial, whereas composite laminas are common face-sheet materials.
Within the principle of sandwich construction, the face sheets carry
the tangential and bending loads, whereas the core keeps the face
sheets at their desired distance and transmits the transverse normal
and shear loads. Both the core and the face-sheet layers are in general
anisotropic.

Because of the presence of the thick core layer made from a
weak material, the deformation and buckling behaviors of structural
sandwich panels are essentially different from the deformation and
buckling behaviors of standard laminated or monolayer structures.
Beside the standard overall buckling, the transverse compressibility
of the core enables the development of an additional local instability
mode referred to as face-wrinkling instability. Within this type of
instability, the face sheets buckle into the core region, whereas the
entire structure might remain globally stable.

To account for the specific deformation behavior of sandwich
structures, different types of models have been developed. These
can be classified into effective single-layer approaches using a single
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Fig. 1 Structural sandwich panel.

displacement function for all layers and multilayer models, which
treat the three principal layers independently and apply appropriate
continuity conditions at the interfaces between the face sheets and
the core.

Recent effective single-layer models have been presented in pa-
pers by Skvortsov and Bozhevolnaya,1 as well as by Ferreira et al.2

The first study is directed to linear elastic material behavior, whereas
the latter one accounts for geometric and material nonlinearities. An
innovative approach based on weighted average displacement func-
tions in conjunction with a continuous stress field at the interfaces
has been presented by Barut et al.3

Examples for multilayer models include the early sandwich mem-
brane models for the face sheets, for example, Allen,4 as well as a
number of more sophisticated approaches. In this context, the geo-
metrically linear sandwich beam model by Frostig et al.5 has to be
mentioned. This model is based on a mixed formulation where the
Kirchhoff–Love hypothesis is adopted for the face sheets, whereas
an assumed stress field is used to describe the core behavior. This
approach has later been extended to curved sandwich beams by
Bozhevolnaya and Frostig,6 as well as to plane sandwich plates by
Frostig.7 Alternative models have recently been presented by Dawe
and Yuan8 and Yuan and Dawe,9 as well as by Pai and Palazotto.10

A general von Kármán-type theory for doubly curved sandwich
shells with transversely incompressible core has been presented by
Librescu et al.11 Vonach and Rammerstorfer12 provided a general
local model to address the face-wrinkling instability in orthotropic
sandwich plates independently from the overall deformation. Sur-
veys on recent work have been provided by Librescu and Hause,13

Noor et al.,14 and Vinson.15

It has been pointed out both by Frostig et al.5 and Starlinger
and Rammerstorfer16 that the transverse core compressibility that
induces the face-wrinkling instability should be considered dur-
ing the structural analysis of the entire sandwich shell because,
due to the geometrically nonlinear nature of the buckling phe-
nomenon, both types of instability are coupled rather than inde-
pendent features. Especially if the buckling loads for both insta-
bility types are in the same order of magnitude, strong interaction
effects have to be expected. Coupling effects between the local and
the global instability have independently been reported by da Silva
and Santos17 and by Wadee and Hunt.18 Because of these coupling
effects, the standard sandwich sandwich model postulating the in-
compressibility of the core is not likely to provide accurate predic-
tions for the face-wrinkling instability. Thus, an enhanced structural
model accounting for the transverse compressibility of the core is
required.

The present study is concerned, among other issues, with
anisotropy effects on both the global buckling and the local face-
wrinkling instabilities. For the analysis, a general, geometrically
nonlinear model for doubly curved sandwich shells is utilized. The
model adopts the standard Kirchhoff model for the face sheets,
whereas a first- and second-order displacement expansion is used
for the core layer. Additional features include the effect of initial
geometric imperfections and inertia effects. Consistent equations of
motion and the corresponding boundary conditions are derived by
means of Hamilton’s principle. An analytical solution is obtained by
means of an extended Galerkin procedure, for example, see Hohe
and Librescu.19,20 In comparison to experimental and other theoret-
ical and numerical approaches, the present model proves to be both
accurate and efficient. Subsequently, the model is applied to the

analysis of different cases of sandwich shells. Strong implications
of core and face-sheet anisotropy on both the global and the local
instabilities are observed. Furthermore, it is found that the develop-
ment of the local face-wrinkling instability has, in general, strong
effects on the overall load deflection behavior as well.

II. Higher-Order Sandwich Shell Model
A. Basic Assumptions

The present study is based on a higher-order sandwich shell
model. The model has been developed in a recent paper by the
present authors. To be reasonably self-contained, a brief outline of
this structural model and the analytical solution procedure is pre-
sented in Secs. II and III, respectively. Full details are given in the
original paper.20

Consider a sandwich shell as presented in Fig. 1. The shell is
symmetric with respect to the global midsurface, used subsequently
as the shell reference surface. The thickness t f of the top and bot-
tom face sheets is assumed to be equal and uniform throughout the
entire structure. The core thickness t c is also uniform but larger than
the face-sheet thickness t f . The radii of curvature r1 and r2 of the
midsurface are assumed to be much larger than the panel thickness
so that the assumptions of shallow shell theory can be applied. For
the analysis, an orthogonal Gaussian coordinate system is defined,
where x1 and x2 are the tangential directions, whereas x3 is the
transverse downward normal direction.

The geometical nonlinearity of the structural response is included
in the von Kármán sense. Thus, a sandwich shell model featuring
large deflections and small strains is derived. Only the transverse
lateral inertia effects will be considered, whereas the tangential as
well as all rotatory inertia terms are neglected. The effect of an initial
geometric imperfection will be included, which is also required for
regularization of the bifurcation behavior in postbuckling analyses.
In the basic form of the shell model, no specific constitutive behavior
will be adopted. Subsequently, the special case of linear orthotropic
elasticity will be considered.

B. Kinematic Relations
The three-dimensional mechanical behavior of the sandwich

panel has to be projected onto the shell reference surface. Therfore,
the three-dimensional displacements vt

i (x j ), vb
i (x j ), and vc

i (x j ) of
the top face sheet, the bottom face sheet, and the core, respectively,
are expanded into power series with respect to the transverse direc-
tion x3.

Because the face sheets are thin, linear variation of the tangential
displacements and uniformity of the transverse displacements with
respect to the transverse direction x3 need to be considered. Thus,
the standard Kirchhoff–Love hypotheses applies to the face sheets.
The following equations are obtained for the three-dimensional dis-
placements vt

i and vb
i of the top and bottom face sheets in terms of

the two-dimensional displacement measures ua
i and ud

i :

vt
1 = ua

1 + ud
1 − [x3 + (t c + t f )/2]ua

3,1 − [x3 + (t c + t f )/2]ud
3,1 (1)

vt
2 = ua

2 + ud
2 − [x3 + (t c + t f )/2]ua

3,2 − [x3 + (t c + t f )/2]ud
3,2 (2)

vt
3 = ua

3 + ud
3 (3)

vb
1 = ua

1 − ud
1 − [x3 − (t c + t f )/2]ua

3,1 + [x3 − (t c + t f )/2]ud
3,1 (4)

vb
2 = ua

2 − ud
2 − [x3 − (t c + t f )/2]ua

3,2 + [x3 − (t c + t f )/2]ud
3,2 (5)

vb
3 = ua

3 − ud
3 (6)

In these equations, the generalized two-dimensional displacement
functions ua

i and ud
i are defined by

{
ua

i , ud
i

} = 1
2

{(
ut

i + ub
i

)
,
(
ut

i − ub
i

)}
(7)

where ut
i and ub

i are the midsurface displacements of the top and
bottom face sheets, respectively. It is implicitly understood that the
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displacement functions ut (xα) and ub(xα) do not depend on the
transverse direction x3 (α = 1, 2).

For the core layer, due to its large thickness, a higher-order power-
series expansion has to be used. To include the transverse compress-
ibility of the core, the representation of the transverse displacement
has to be at least of first order with respect to the thickness coordi-
nate x3. In this case, a second-order expansion is appropriate for the
tangential displacements. If the midsurface displacements uc

3 and
their gradients uc

3,α are eliminated by means of the displacement
compatibility conditions with the face-sheet displacements at the
interfaces at x3 = ± t c/2, the power-series expansion of the core
reads

vc
1 = ua

1 − (t f /2)ud
3,1 − (

2x3

/
t c
)
ud

1 + (t f /t c)x3ua
3,1

+ [
4(x3)

2
/

(t c)2 − 1
]

c

1 (8)

vc
2 = ua

2 − (t f /2)ud
3,2 − (

2x3

/
t c
)
ud

2 + (t f /t c)x3ua
3,2

+ [
4(x3)

2
/

(t c)2 − 1
]

c

2 (9)

vc
3 = ua

3 − (
2x3

/
t c
)
ud

3 (10)

where 
c
α are additional independent displacement functions that

are related to the warping of the core layer.
In addition to the load-dependent displacements vt

i , vb
i , and vc

i ,
initial geometric imperfections with respect to the transverse direc-
tion are included. These are defined as

◦
vt

3 = ◦
ua

3 + ◦
ud

3 (11)

◦
vb

3 = ◦
ua

3 − ◦
ud

3 (12)

◦
vc

3 = ◦
ua

3 − (
2x3

/
t c
)◦
ud

3 (13)

The imperfections are assumed infinitesimal and constant during
the loading and deformation process.

Because geometrically nonlinear theory is to be used in the present
analysis, the deformation of the individual layers is described in
terms of the Green–Lagrange strain tensor terms of the components

γi j = 1
2 (vi | j + v j |i + vk|ivk| j ) (14)

where the vertical stroke denotes the covariant derivative. The total
displacements entering the strain–displacement relations are given
by the sum of the load dependent displacements and the initial geo-
metric imperfections. According to the von Kármán nonlinear con-
cept, the strain–displacement relations (14) are not used directly, but
all quadratic terms containing exclusively gradients of the tangential
displacements are neglected. Further simplifications are due to the
adoption of the assumtions rα � t c, t f of shallow shell theory.

Substituting the displacement representations (1–10) of the face
sheets and the core, as well as the initial geometric imperfection
equations (11–13) into the resulting equations yields the expressions
of the strain components γi j for both the face sheets and the core
layer. When the assumption that no antisymmetric terms should
occur in the expressions for the transverse shear stresses and strains
is adopted, the equations for γ23 and γ13 yield explicit expressions
for the core warping functions 
c

α . By substitution of the obtained
expressions into the kinematic relations, the field variables 
α can
be eliminated from the system. Because the expressions for the
Green–Lagrange strain tensor components γi j are rather lengthy,
the resulting expressions are not presented in explicit form.

C. Equations of Motion and Boundary Conditions
In Sec. II.B the three-dimensional displacements vi (xk) for the in-

dividual layers and the corresponding nonlinear strain components
γi j (xk) have been determined in terms of the midsurface displace-
ments ua

i (xα) and ud
i (xα) of the face sheets as well as the warping


c
α(xα) of the core. Next, the corresponding nonlinear equations of

motion and the corresponding boundary conditions have to be de-
termined. In this context, to obtain a consistent theory, care has to

be exercised to introduce similar simplifications as in the derivation
of the strain–displacement relations.

A natural manner to derive a consistent structural model is the
use of Hamilton’s principle

∫ t1

t0

(δU − δW − δT ) dt = 0 (15)

where δU , δW , and δT are the variation of the strain energy, of
the work done by the external loads, and of the kinetic energy,
respectively, whereas t0 and t1 are arbitrary instants of time.

Consistent with the concept of soft core and in light of the earlier
postulated assumptions, the variation of the strain energy is given
by

δU =
∫

A

(∫ −tc/2

−t f − tc/2

τ t
αβδγ t

αβ dx3 +
∫ tc/2

−tc/2

τ c
i3δγ

c
i3 dx3

+
∫ tc/2 + t f

tc/2

τ b
αβδγ b

αβ dx3

)

dA (16)

where A is the midsurface area of the sandwich panel and τi j are
the components of the second Piola–Kirchhoff stress tensor.

When, as usual, only transverse distributed loads q̂ t
3 and q̂b

3 over
the area of the top and bottom face sheets are assumed, the variation
of the work done by the external loads is given by

δW =
∫

A

(
q̂ t

3δut
3 + q̂b

3 δub
3

)
dA +

∫

xt

(∫ −tc/2

−t f − tc/2

τ̂ t
nαδv

t
α dx3

+
∫ tc/2

−tc/2

τ̂ c
n3δv

c
3 dx3 +

∫ tc/2 + t f

tc/2

τ̂ b
nαδv

b
α dx3

)

dxt (17)

where xn and xt are the normal and tangential directions along the
external boundaries of the sandwich panel. The quantities τ̂i j are the
prescribed stress components on the boundary surfaces.

In the expression for the kinetic energy, all rotatory and tangential
inertia terms are discarded. Thus, the variation of the kinetic energy
takes the form
∫ t1

t0

δT dt =
∫ t1

t0

∫

A

(∫ −tc/2

−t f − tc/2

−ρ f v̈t
3δv

t
3 dx3

+
∫ tc/2

−tc/2

−ρcv̈c
3δv

c
3 dx3 +

∫ tc/2 + t f

tc/2

−ρ f v̈b
3δv

b
3 dx3

)

dA dt

(18)

where ρ f and ρc are the mass densities of the face sheets and of the
core, respectively.

The variations of the strain energy, the work by the external forces
and the kinetic energy defined by Eqs. (16–18) are substituted into
Hamilton’s principle (15). Subsequently, the variations of the strain
components are expressed in terms of the variations of the unknown
displacement functions and of their spatial derivatives. For the re-
duction of the three-dimensional elasticity problem to an equivalent
two-dimensional problem, stress resultants and the stress couples
are defined as follows.

Top face sheet:

{
N t

αβ, Mt
αβ

}=
∫ −tc/2

−t f − tc/2

τ t
αβ

{
1,

(
x3 + t c + t f

2

)}
dx3 (19)

Bottom face sheet:

{
N b

αβ, Mb
αβ

}=
∫ t f + tc/2

tc/2

τ b
αβ

{
1,

(
x3 − t c + t f

2

)}
dx3 (20)
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Core:

{
N c

i3, Mc
i3

}=
∫ tc/2

−tc/2

τ c
i3{1, x3} dx3 (21)

Consistent with definition (7) for the alternative face-sheet displace-
ment functions, alternative face-sheet stress resultants and stress
couples are defined as

{
N a

αβ, Ma
αβ

}= 1
2

{(
N t

αβ + N b
αβ

)
,
(

Mt
αβ + Mb

αβ

)}
(22)

{
N d

αβ, Md
αβ

}= 1
2

{(
N t

αβ − N b
αβ

)
,
(

Mt
αβ − Mb

αβ

)}
(23)

With the substituting of the earlier defined expressions into the
variational equation (15), the collecting of the terms corresponding
to the dependence on the respective variations of the displacement
functions, and the integrating by parts wherever possible, a lengthy
homogeneous equation is obtained that involves the variations δua

i ,
δud

i , δua
i,α , and δud

i,α of the displacement functions and their gradi-
ents as coefficients. Because all of these quantities are arbitrary and
independent throughout A and throughout the time interval [t0, t1],
the corresponding coefficients must vanish independently. From the
area integrals, the nonlinear equations of motion are obtained:

0 = N a
11,1 + N a

12,2 (24)

0 = N a
12,1 + N a

22,2 (25)

0 = N d
11,1 + N d

12,2 + (1/t c)N c
13 (26)

0 = N d
12,1 + N d

22,2 + (1/t c)N c
23 (27)

0 = (
ua

3,11 + ◦
ua

3,11 + 1/r1

)
N a

11 + 2
(
ua

3,12 + ◦
ua

3,12

)
N a

12

+ (
ua

3,22 + ◦
ua

3,22 + 1/r2

)
N a

22 + Ma
11,11 + 2Ma

12,12 + Ma
22,22

+ (1/t c)
[
(t c + t f )/2 − ud

3 − ◦
ud

3

](
N c

13,1 + N c
23,2

)

+ (
ud

3,11 + ◦
ud

3,11

)
N d

11 + 2
(
ud

3,12 + ◦
ud

3,12

)
N d

12 + (
ud

3,22 + ◦
ud

3,22

)
N d

22

− (2/t c)
(
ud

3,1 + ◦
ud

3,1

)
N c

13 − (2/t c)
(
ud

3,2 + ◦
ud

3,2

)
N c

23 + q̂a
3

− (
m f + 1

2 mc
)
üa

3 (28)

0 = (
ua

3,11 + ◦
ua

3,11 + 1/r1

)
N d

11 + 2
(
ua

3,12 + ◦
ua

3,12

)
N d

12

+ (
ua

3,22 + ◦
ua

3,22 + 1/r2

)
N d

22 + Md
11,11 + 2Md

12,12 + Md
22,22

+ (
ud

3,11 + ◦
ud

3,11

)
N a

11 + 2
(
ud

3,12 + ◦
ud

3,12

)
N a

12 + (
ud

3,22 + ◦
ud

3,22

)
N a

22

+ (2/t c)
(
t c/2 − ud

3 − ◦
ud

3

)
N c

33 + q̂d
3 − (

m f + 1
6 mc

)
üd

3 (29)

In Eqs. (28) and (29), mc and m f are the integrated mass densities for
the core and the face sheets, respectively. Because of the adoption of
the von Kármán concept, linear equilibrium conditions are obtained
with respect to the tangential stress resultants N a

αβ and N d
αβ , whereas

the remaining two equations (28) and (29) are nonlinear.
The corresponding boundary conditions are obtained from the

boundary integral. The result reads

ua
n = ûa

n or N a
nn = N̂ a

nn (30)

ua
t = ûa

t or N a
nt = N̂ a

nt (31)

ud
n = ûd

n or N d
nn = N̂ d

nn (32)

ud
t = ûd

t or N d
nt = N̂ d

nt (33)

ua
3 = ûa

3 or

(
ua

3,n + ◦
ua

3,n

)
N a

nn + (
ua

3,t + ◦
ua

3,t

)
N a

nt + (
ud

3,n + ◦
ud

3,n

)
N d

nn

+ (
ud

3,t + ◦
ud

3,t

)
N d

nt + Ma
nn,n + 2Ma

nt,t

+ (1/t c)
[
(t c + t f )/2 − ud

3 − ◦
ud

3

]
N c

n3 = M̂a
nt,t + 1

2 N̂ c
n3 (34)

ud
3 = ûd

3 or

(
ua

3,n + ◦
ua

3,n

)
N d

nn + (
ua

3,t + ◦
ua

3,t

)
N d

nt + (
ud

3,n + ◦
ud

3,n

)
N a

nn

+ (
ud

3,t + ◦
ud

3,t

)
N a

nt + Md
nn,n + 2Md

nt,t = M̂d
nt,t − (1/t c)M̂c

n3

(35)

ua
3,n = ûa

3,n or Ma
nn = M̂a

nn (36)

ud
3,n = ûd

3,n or Md
nn = M̂d

nn (37)

Again, linear equations with respect to the face-sheet tangential and
bending components are obtained, whereas the conditions related
to the transverse displacements are nonlinear. Thus, all equations
derived earlier are valid for any type of elastic or inelastic material
behavior. The terms on the right-hand-side members of the boundary
conditions marked by a circumflex sign are prescribed quantities.
Note that within this structural model eight boundary conditions
should be prescribed on each edge of the panel, and as a result, the
governing equations should be of 16th order.

III. Analytical Solution for Simply
Supported Elastic Panels

A. Orthotropic Linear Elastic Material
In the next developments, the special case of a simply supported

rectangular panels is considered. Both the face sheets and the core
are assumed to consist of an orthotropic linear elastic material. Un-
der these conditions, an analytical treatment of the problem is pos-
sible. In this section, a brief outline of the analytical procedure will
be presented.

In the case of orthotropic linear elasticity, the average stress resul-
tants and stress couples of the face sheets are related to the average
tangential and bending strains by the matrix relations






N a
11

N a
22

N a
12




 =






A f
11 A f

12 0

A f
22 0

(sym) A f
66











γ̄ a
11

γ̄ a
22

2γ̄ a
12




 (38)






Ma
11

Ma
22

Ma
12




 =






D f
11 D f

12 D f
16

D f
22 D f

26

(sym) D f
66











κa
11

κa
22

2κa
12




 (39)

with

{
γ̄ a

αβ, κa
αβ

} = 1
2

{(
γ̄ t

αβ + γ̄ b
αβ

)
,
(
κ t

αβ + κb
αβ

)}
(40)

(
γ̄ d

αβ, κd
αβ

} = 1
2

{(
γ̄ t

αβ − γ̄ b
αβ

)
,
(
κ t

αβ + κb
αβ

)}
(41)

where γ̄ t
αβ and γ̄ b

αβ are the tangential strains of the top and bottom
face sheet, respectively, whereas κ t

αβ and κb
αβ are the corresponding

bending strains. The stress resultants N d
αβ and Md

αβ are related to the
tangential and bending strains γ̄ d

αβ and κd
αβ of the top and bottom

face sheets by relations similar to Eqs. (38) and (39).
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The components of the stiffness matrices are defined in terms of
the reduced stiffness matrix Q f

i j of the face-sheet material by

{
A f

i j , D f
i j

}=
∫ −tc/2

−t f − tc/2

(

Q f
i j − Q f

i3 Q f
j3

Q f
33

){
1,

(
x3 + t c + t f

2

)2}
dx3

(42)

The stress resultants N c
i3 and Mc

i3 for the core are related in a
similar manner to the transverse core strain measures γ̄ c

i3 and κc
i3.

The corresponding equations read





N c
33

N c
23

N c
13




 =






Ac
33 0 0

0 Ac
44 0

0 0 Ac
55











γ̄ c
33

2γ̄ c
23

2γ̄ c
13




 (43)






Mc
33

Mc
23

Mc
13




 =






Dc
33 0 0

0 Dc
44 0

0 0 Dc
55











κc
33

2κc
23

2κc
13




 (44)

where the stiffness components are obtained from the components
Qc

i j of the reduced stiffness matrix of the core material by

{
Ac

i j , Dc
i j

}=
∫ tc/2

−tc/2

Qc
i j

{
1, (x3)

2
}

dx3, i, j = 3, 4, 5 (45)

With the constitutive equations (38), (39), (43), and (44), the equa-
tions of motion (24–29), as well as the boundary conditions (30–36),
can be expressed in terms of the unknown displacement functions.
Because of their intricacy, these equations are not provided here.

B. Displacement Representation
In case of a rectangular, simply supported sandwich panel, an

appropriate representation for the transverse displacements is given
by

ua
3 = wa

mn sin
(
λa

m x1

)
sin

(
µa

n x2

)
, λa

m = mπ/ l1, µa
n = nπ/ l2

(46)

ud
3 = wd

pq sin
(
λd

px1

)
sin

(
µd

q x2

)
, λd

p = pπ/ l1, µd
q = qπ/ l2

(47)

where m, n, p, and q are the number of modal half-waves, whereas
wa

mn and wd
pq are the unknown modal amplitudes of the transverse

displacements. The quantities l1 and l2 are the tangential edge di-
mensions of the panel in the x1 and x2 directions, respectively.

In the assumption for the transverse displacements, Eq. (46) is
related to overall buckling of the entire sandwich panel. In general,
the numbers m and n of modal half-waves related to this type of
instability will be equal to one or attain low integer numbers. The
seond equation in the assumed form for the transverse displacements
[Eq. (47)] is related to symmetric face wrinkling because it governs
the difference ud

3 in the displacements of both face sheets, whereas
Eq. (46) describes the average ua

3 of the transverse deflections of
both face sheets. A typical face-wrinkling instability mode consists
of a large number p or q of modal half-waves within the direction
of the largest tangential load and a small number q or p of modal
waves (in most cases a single one) in the direction perpendicular to
the direction of the largest tangential stress resultant.

For the initial geometric imperfection, a form similar to the as-
sumed form of the load-dependent transverse displacements with
the same number of modal waves but different modal amplitudes is
assumed:

◦
ua

3 = ◦
wa

mn sin
(
λa

m x1

)
sin

(
µa

n x2

)
(48)

◦
ud

3 = ◦
wd

pq sin
(
λd

px1

)
sin

(
µd

q x2

)
(49)

A solution for the tangential displacement functions ua
α and ud

α

that is consistent with the assumed transverse displacements ua
3 and

ud
3 according to Eqs. (46) and (47) can be derived by the following

procedure.
The first two equilibrium conditions (24) and (25) are identically

satisfied by representing N a
αβ in terms of an Airy stress function 	.

An additional field equation for the Airy function is obtained by
using the compatibility condition expressed in terms of the tangen-
tial strains γ̄ a

αβ of the face sheets. Substituting the tangential strains
obtained from the inverse of Eq. (38) into the compatibility condi-
tion and expressing the stress resultants N a

αβ in terms of the Airy
function yields an inhomogeneous differential equation for the Airy
stress function. A general solution of this equation has been derived
in a previous paper by the present authors.20

With this solution, explicit expressions for the stress resultants
N a

αβ can be obtained. These expressions are consistent with the as-
sumed form (46) and (47) for the transverse displacements. Sub-
stituting the stress resultants and the average face-sheet tangential
strains γ̄ a

αβ into the constitutive relations (38) yields a system of two
coupled differential equations for the tangential displacements ua

α .
Another system of two differential equations for the displacement
functions ud

α subsequently can be obtained by substituting the earlier
determined parts of the solution into the third and fourth equilibrium
conditions. Again, the solution for the tangential displacements ua

α

and ud
α obtained from this system of equations is consistent with

the assumed form (46) and (47) for the transverse displacements
ua

3 and ud
3 . Thus, a consistent solution for all displacement com-

ponents of the top and bottom face sheets (and thus, also for the
dependent displacement components of the core) is available. This
solution satisfies the first four equilibrium conditions, as well as all
boundary conditions with respect to the transverse displacements
and rotations identically. The remaining boundary conditions are
satisfied in an integral average sense.

The only remaining unknowns are now the modal amplitudes
wa

mn and wd
pq of the transverse displacements ua

3 and ud
3 , respectvely.

These unknowns are determined by means of an extended Galerkin
method. Therefore, all parts of the solution determined so far are
substituted into Hamilton’s principle (15). The variations of the
displacement functions and their spatial derivatives are expressed
through the variations of the unknown modal amplitudes, resulting
in a lengthy homogeneous equation for the variations δwa

mn and
δwd

pq . Because the variations of the modal amplitudes, again, are
arbitrary and independent throughout the time interval [t0, t1], the
corresponding coefficients must vanish independently. Thus, there
is a coupled nonlinear system of two equations for the two remaining
unknowns wa

mn and wd
pq . The system is solved numerically by means

of Newton’s method.

IV. Results
A. Preliminaries

The sandwich shell model and the analytical solution procedure
derived in Secs. II and III are now applied to an analysis of the defor-
mation and buckling behavior structural sandwich panels. To include
a variety of effects, three different types of structures are consid-
ered, all of which are simply supported along all edges. Within the
first example, the case of a flat sandwich panel loaded in an in-plane
compression mode with −N̂ a

11 �= 0 and −N̂ d
11 = 0 is considered. The

edges parallel to the loading direction are assumed to be freely mov-
able with respect to the x2 direction. Throughout the present study,
the standard sign convention is adopted for the loads. Therefore,
negative signs indicate compressive loads, whereas tensile loads are
positive.

As a second structural example, a cylindrical sandwich shell is
considered. The shell is loaded in uniaxial compression, similar
to the case of the flat sandwich panel. The edges parallel to the
loading direction are assumed to be immovable. The third structural
example is a spherical sandwich cap with square projection, which
is subjected to a transverse pressure acting on the top face sheet.
In this example, all external edges are assumed to be immovable
within the tangential plane.
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Table 1 Face-sheet material data

Material E1, E2, G12, Layup, tply,
Type type GPa GPa ν12 GPa deg mm

1 Carbon fiber 142.0 9.8 0.34 4.3 [0/90/0] 0.125
reinforced
plastic

2 Aluminum 69.0 69.0 0.3 26.5 —— 0.65
3 Graphite epoxy 181.0 10.3 0.28 7.24 [0/±ϑ/90]s 0.25
4 Graphite epoxy 181.0 10.3 0.28 7.24 [±ϑ]s 0.25

Table 2 Core material data

G13, G23, E3, tc ,
Type Material type MPa MPa MPa mm

1 Ciba Geigy aeroweb-type A1 60.0 35.2 298 5
2 Ciba Geigy aeroweb-type A1 26.6 15.5 109 25
3 HEXCEL 3/16-5052-0.0007 186.0 98.6 234 20
4 HEXCEL 3/16-5052-0.0007 186.0 98.6 234 40

Table 3 Plane sandwich panel buckling loads and number
of modal waves

Face sheet/core type

Result 1/1 1/2 2/1 2/2

Type of buckling Overall Wrinkling Overall Wrinkling
Buckling load/number

of modal waves N̂ a
11/s,

N/mm/–
Ref. 22 (experimental) −92.5/1 –/– −117.0/1 –/–
Ref. 21 (analytical) −76.0/1 −80.0/1 −121.0/1 −245.0/–
Refs. 8 and 9 (numerical) –/– −80.5/34 –/– −246.0/19
Present study −68.5/1 −84.6/35 −148.0/1 −259.0/20

Different combinations of core and face sheet materials are in-
vestigated. For the face sheets, three types of laminas consisting
of carbon fiber-reinforced plastics and graphite epoxy layers with
different stacking sequences, as well as the case of homogeneous
aluminum face sheets, are considered. The assumed material param-
eters are presented in Table 1. The ply angle ϑ in all cases is counted
from the x1 axis toward the fiber direction of the respective ply. As
usual, the positive direction is defined by an anticlockwise rotation
about the x3 axis. For the core layer, two types of honeycomb struc-
tures are investigated, including a Ciba Geigy aeroweb-type A1 non-
metallic honeycomb and a HEXCEL 3/16-5052-0.0007 aluminum
hexagonal honeycomb structure. Both types of core material are con-
sidered in two different thicknesses. The assumed thickness and the
material parameters for the different core types are given in Table 2.

B. Plane Sandwich Panel
For validation of the present analytical approach, the buckling

of a flat, square sandwich panel with l1 = 228 mm ( = l2) is inves-
tigated. Both types of aeroweb honeycomb cores and the carbon
fiber-reinforced plastics, as well as the aluminum face sheet types
according to Tables 2 and 1, respectively, are considered. Thus, a
total number of four different sandwich panels with all possible
combinations of core and face sheet types 1 and 2 are analyzed.
The same configurations have been investigated both experimen-
tally and by means of a simplified analytical approach by Pearce
and Webber.21,22 Two cases, where the face wrinkling instability is
the leading failure mode, have recently been reanalyzed by Dawe
and Yuan and Yuan and Dawe.9 The results are presented in Table 3.
In the present analysis, the overall instability corresponds to a de-
formation with ua

3 �= 0, whereas face wrinkling corresponds to a
deformation with ud

3 �= 0 [Eqs. (46) and (47)].
Note that the present sandwich plate model in all cases predicts

the correct instability modes. when the scatter in the results and
some differences in the boundary conditions are considered, the
correponding buckling predictions obtained by the present model
are in good agreement with the experimental results by Pearce and

Webber,22 as well as with their analytical predictions,21 and with
the numerical results by Dawe and Yuan and Yuan and Dawe.9 The
advantage of the present structural model compared to the earlier
ones stems from that the present model can address both the local
and global instabilities at once. As a result, the present model is
capable of an assessment of the local instability during the struc-
tural analysis of the entire sandwich structure and, thus, includes all
possible interaction effects in a natural manner.

C. Cylindrical Sandwich Shell
As another case study, the problem of a cylindrical sandwich shell

under axial compression is addressed. This problem involves inter-
action effects between the two different instability modes. The face
sheets are assumed to consist of symmetric graphite epoxy laminas
with a [0/ ± ϑ/90%]s-deg stacking sequence (Table 1). To study
the effect of the face sheet anisotropy on the overall buckling and
deformation behavior, the ply angle ϑ is varied. As core material, a
HEXCEL 3/16-5052-0.0007 aluminum honeycomb structure with
t c = 20 mm according to Table 2 is considered. A global geometric
imperfection of ◦

wa
mn = 10 mm is assumed to exist. No local geo-

metric imperfection ◦
wd

pq is postulated.
In Fig. 2, the results of the investigation of the effect of the face

sheet ansiotropy are presented. In the case of a ply angle ϑ = 60 deg,
a distinct snap-through effect is observed. The level of the applied
compressive load −N̂11 first increases with increasing transverse de-
flection wa

mn , attains a maximum followed by a decrease, before the
occurrence of a secondary increase (Fig. 2a). Notice that the standard
sign convention that tensile loads are positive, whereas compressive
loads are negative is adopted throughout the present study.

The intensity of the snap-through jump is attenuated with the
increase of the ply angle ϑ , resulting in an increased face-sheet
anisotropy. At ϑ ≈ 80 deg, the snap-through jump is eliminated.
For a ply angle ϑ ≈ 55 deg, the postbuckling behavior changes
completely from the behavior at ϑ ≥ 60 deg in the sense that the
direction of the transverse deflection in case of an increasing com-
pressive load −N̂11 reverses. In addition, no snap-through effect
is present in this case. A similar behavior is observed for the re-
sulting edge load N̂22 perpendicular to the global loading direction
(Fig. 2b). Note that the resulting edge load N̂22 might become tensile
at sufficiently large transverse deflections wa

mn of the shell center.
Slight or strong discontinuities in the slopes of both the applied

edge load-deflection curve in Fig. 2a, as well as in the curve for
the resulting edge load N̂22 perpendicular to the loading direction
(Fig. 2b) and the resulting deflection ua

1 of the loaded edge (Fig. 2c),
mark the onset of the development of the face-wrinkling instability
with a nonzero difference ud

3 in the transverse deflections of both
face sheets according to Eq. (47). For load levels below the respec-
tive load, no face wrinkling occurs, indicated by a vanishing modal
amplitude wd

pq of this type of instability (Fig. 2d). Beyond the cor-
responding buckling load, a face-wrinkling instability mode with a
nonvanishing modal amplitude develops. In case of a global snap-
through effect, for example, for a ply angle ϑ = 60 deg, a temporary
decrease in the modal amplitude wd

pq is caused by the temporary
decrease in the level of the applied compressive load −N̂11. The de-
velopment of the face-wrinkling instability results in an additional
increase in the displacement ua

1 of the loaded edge (Fig. 2c). Espe-
cially for ϑ = 55 deg, a distinct effect consisting of a sudden increase
of the modal amplitude wd

pq by about 3 mm is observed. The sudden
increase in the deflection ua

1 of the loaded edge results in a sud-
den, more or less distinct increase in the levels of both the applied
compressive edge load −N̂11 as well as of the resulting compres-
sive edge load −N̂22 perpendicular to the loading direction without
a further increase in the global transverse deflection wa

mn of the
panel center.

Especially for a ply angle ϑ = 55 deg, a strong effect is observed.
Minor kinks are observed on the load-deflection curves for ply
angles of ϑ ≥ 60 deg. In these cases, the onset of face wrinkling
occurs just before the snap-through jump. Therefore, if in the con-
sidered cases the critical external load is exceeded, the snap-through
effect is not only associated with a sudden increase in the overall
transverse deflection ua

3 of the sandwich panel but also includes a
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a)

b)

c)

d)

Fig. 2 Cylindrical sandwich shell: effect of face-sheet ply angle.

a) b)

Fig. 3 Cylindrical sandwich shell: effect of transverse shear modulus.

sudden increase in the modal amplitude wd
pq of the face wrinkling

instability. Thus, the presence of the local face-wrinkling instability
can have distinct effects on the overall load deflection and buckling
behavior of sandwich panels. Notice that no such effects could be
described by the classical sandwich shell models under the assump-
tion of a transversely incompressible core.

In the previous analysis, the properties of the core have been kept
constant. Because the ratio G13/G23 of the transverse shear moduli
of the core might vary for different core types, the effect of this quan-
tity is studied next. In the underlying computations, the transverse
shear modulus G23 is kept constant at its nominal value according to
Table 2, whereas five different values of the transverse shear mod-
ulus G13 are considered, resulting in five different ratios G13/G23.
The face sheet material is the same as in the earlier analyses except
that the ply angle is fixed at ϑ = 60 deg resulting in a distinct snap-
through effect. The results are presented in Fig. 3. Observe that the
variation of the transverse shear modulus G13 has distinct effects
on the overall edge load-deflection behavior N̂11(w

a
mn) (Fig. 3a), as

well as on the modal amplitude wd
pq of the face-wrinkling instability

shown in Fig. 3b. In contrast to the effect of the ply angle ϑ consid-
ered in Fig. 2, the effects observed in the present analysis are mainly
of a quantitative nature, caused by the variation of the overall core
stiffness due to the variation of G13. The qualitative behavior on
the other hand, especially the occurrence of the snap-through effect,
remains unchanged.

D. Spherical Sandwich Cap
The third structural example consists of a spherical sandwich cap

of a square projection, loaded in unilateral transverse compression

q̂ t
3 �= 0. It is assumed that the core is a hexagonal HEXCEL aluminum

honeycomb structure according to Table 2, type 4. Unless otherwise
stated, the core thickness is t c = 40 mm (case 4, Table 2). The face
sheets are assumed to consist of graphite epoxy laminas with a [±ϑ]s

stacking sequence (face-sheet type 4, Table 1). The face-sheet ply
angle ϑ is varied to study the effect of the face sheet anisotropy. All
edges of the sandwich cap are assumed to be simply supported and
immovable within the tangential plane with respect to the direction
normal to the respective edge.

If the load q̂ t
3 = 2q̂a

3 is increased from a zero level, the deforma-
tion of the sandwich cap in conjunction with the applied boundary
conditions require a shortening of the sandwich shell in both the x1

and x2 directions. This deformation causes the development of re-
sulting nonzero edge loads N̂11 and N̂22, which eventually cause the
development of a face wrinkling instability mode. If the transverse
displacement wa

mn becomes sufficiently large, the curvature of the
sandwich panel in the deformed configuration changes, resulting in
a subsequent decrease of the tangential shortening of the sandwich
cap required by the tangential boundary conditions. The related de-
crease of the resulting tangential edge loads N̂11 and N̂22 eventually
results in a vanishing of the face-wrinkling instability mode at a
sufficiently high load level q̂a

3 .
In Figs. 4a and 4b, the ranges in the loading and deformation

evolution of the sandwich cap, in which a face wrinkling mode
with a nonvanishing modal amplitude wd

pq develops, are presented.
Observe that the range marking the presence of a face-wrinkling
instability strongly depends on the anisotropy ratio of the sandwich
panel governed by the ply angle ϑ . The most narrow face-wrinkling
range is obtained for the off-axes cross-ply laminate at ϑ = 45 deg,
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a)

b)

c)

d)

Fig. 4 Spherical sandwich cap: occurrence of face wrinkling.

where the angle between the different ply orientations is 90 deg.
The anisotropy ratio of the face sheets decreases, if the ply angle is
decreased. At ϑ = 0 deg, the special case of a unidirectional lami-
nate is obtained. In this case, the sandwich structure becomes rather
stiff with respect to the x1 direction, whereas a rather low stiffness is
obtained perpendicular to this direction. Because the face-wrinkling
mode involving the lowest overall strain energy (in the present prob-
lem) is a mode consisting of multiple modal waves in one direction
(here the weak direction) and a single sine half-wave in the other
direction (here the stiff direction), the resistance of the considered
sandwich panel against the development of a face-wrinkling insta-
bility decreases if the face sheet ply angle approaches the case of a
unidirectional laminate at ϑ = 0 deg.

The observed discontinuities in the boundaries of the face-
wrinkling ranges in Figs. 4a and 4b are due to the changes in the
number p of modal waves. The dependence of p on the ply an-
gle ϑ is presented in Fig. 4c. In this context, odd numbers p of
modal waves in the x1 direction involve less overall strain energy
than even numbers. Therefore, no even numbers p of sine half-
waves are present in any case. In addition to the global load level
q̂a

3 and the global transverse deflection wa
mn , the modal amplitude

wd
pq of the face-wrinkling instability mode depends on the number

p of modal waves. As can be observed in Fig. 4d, the maximum
modal amplitude wd max

pq of the face-wrinkling instability during the
loading process decreases with an increasing number p of modal
waves. Because an increasing number p of modal waves at a constant
maximum deflection wd

pq would cause a discontinuous increase in
the overall strain energy, this effect can be explained on energetic
arguments.

In Figs. 5a–5d, the external load q̂a
3 , the modal amplitude wd

pq ,
and the resulting tangential edge loads N̂11 and N̂22, respectively,
are plotted vs the global transverse deflection wa

mn of the panel cen-
ter. Four different ply angles ϑ are considered. Observe in Fig. 5a
that the ply angle ϑ has a strong impact on the overall load-deflection
behavior of the sandwich cap under consideration. Similar to the
resistance against the development of the face-wrinkling instabil-
ity, the overall stiffness of the sandwich cap decreases with de-
creasing ply angle ϑ . The dependence of the face-wrinkling re-
sistance of the sandwich cap can again be studied in Fig. 5b,
where the modal amplitude wd

pq of the face-wrinkling modes is
presented as a function of the global transverse deflection wa

mn .
With the increasing ply angle ϑ , the face wrinkling amplitude
decreases in magnitude, whereas the range of a nonvanishing

modal amplitude shrinks. Both effects indicate an increasing re-
sistance of the sandwich cap against the development of a face-
wrinkling instability. Note that due to a small geometric imper-
fection ◦

wd
mn , which has to be imposed to stabilize the numerical

computation, no sharp boundaries of the face wrinkling range can be
obtained.

In Figs. 5c and 5d, the development of the resulting tangential
edge loads N̂11 and N̂22 during the deformation process is pre-
sented. The onset and the vanishing of the face wrinkling instability
result in sharp discontinuities in the slope of the curves. No such
effects would have appeared in the context of a standard sandwich
model involving the assumption of a transversely incompressible
core. Notice that the resulting tangential edge loads become ten-
sile at a sufficiently high transverse deflection due to the curvature
change of the sandwich cap. Again, strong effects of the face-sheet
anisotropy due to the variation of the ply angles are observed. Be-
cause of the anisotropy of the sandwich cap, the results for the tan-
gential edge loads corresponding to the different spatial directions
are different.

As a final analysis, the effect of the transverse elastic modulus Ec

of the core is investigated. In Figs. 6a and 6b, the transverse load
q̂a

3 and the resulting tangential edge load N̂11 for a sandwich cap
with a ply angle ϑ = 30 deg are presented. To study the effect of
the transverse core compressibility, six different levels of the core’s
transverse Young’s modulus are considered ranging from a rather
weak core with E3 = 20 MPa to a stiff core with E3 = 7 GPa. All
remaining core properties are kept constant at the values given in
Table 2.

The modal amplitude wd
pq of the face-wrinkling instability van-

ishes in case of the largest transverse Young’s modulus, E3 = 7 GPa.
In this case, the face-wrinkling instability is suppressed due to the
large transverse core stiffness. In all other cases, a face-wrinkling
instability is present. Both the modal amplitude wd

pq as well as the
range where this type of instability occurs during the deformation
process increase with decreasing transverse core stiffness. Because
the sandwich panel becomes weaker in presence of a face-wrinkling
instability, the overall load-deflection curve presented in Fig. 6a de-
creases with decreasing Young’s modulus E3 of the core. In Fig. 6,
the direction of an increasing transvers elastic modulus E3 is indi-
cated by an arrow. Because the decrease of the transverse Young’s
modulus is related to the presence of a face-wrinkling instability
with nonvanishing modal amplitude, the effect is restricted to those
ranges of the deformation process where a face wrinkling mode
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a)

b)

c)

d)

Fig. 5 Spherical sandwich cap: effect of face-sheet ply angle.

a) b)

Fig. 6 Spherical sandwich cap: effect of transverse Young’s modulus.

is present. Note that, for a given global load level q̂a
3 , the overall

deflection wa
mn increases by up to 20% if the transverse core com-

pressibility is considered.
The most severe effect is observed again in case of the resulting

tangential edge loads N̂11 and N̂22. The resulting edge load N̂11 is
plotted in Fig. 6b vs the overall deflection wa

mn . In case of the stiff
core with E3 = 7 GPa, no face wrinkling occurs. Therefore, smooth
curves N̂ a

11(w
a
mn) are obtained. In all other cases, kinks mark the on-

set and the vanishing of the face-wrinkling instability. In both cases,
strong effects of the transverse elastic modulus E3 of the core on the
magnitude of the resulting edge loads N̂11 are observed. In this con-
text, the level of the compressive edge load −N̂11 decreases. These
results again indicate that the transverse core compressibility and the
related local face-wrinkling instability might have significant effects
on the overall deformation behavior of structural sandwich panels.

V. Conclusions
The present study is concerned with a comprehensive analysis

of doubly curved anisotropic sandwich shells with weak cores in-
cluding all principal effects especially in the postbuckling range. To
capture the effect of the transverse core compressibility, a higher-
order multilayer shell theory is developed. In addition, the struc-
tural model accounts for geometric nonlinearity, initial geometric
imperfections, and inertia effects. The local face-wrinkling instabil-
ity can be addressed during the structural analysis rather than during
a postprocessing as in the previous models available in the litera-
ture. Thus, the interaction of the face-wrinkling instability with the
global buckling as well as external geometry and curvature effects

or effects of the external geometry and the loading conditions on
the face-wrinkling mode are addressed in a natural manner.

The model is applied to the analysis of different cases of sim-
ply supported sandwich panels with laminated face sheets and or-
thotropic core. Both flat as well as curved sandwich panels are con-
sidered. Based on an extended Galerkin procedure, an analytical
solution is obtained. The model is validated against available exper-
imental results, as well as against alternative analytical and numer-
ical results presented by other authors. The model proposed in the
present study proves to be both accurate and numerically efficient.

Two structural examples involving the postbuckling behavior of
a cylindrical sandwich panel under axial compression and with the
deformation behavior of a spherical sandwich panel under transverse
normal pressure are considered. In both examples, distinct effects
of the local face-wrinkling instability on the overall deformation
and postbuckling behavior of the entire structures are observed.
Because the local face-wrinkling instability is closely related to
the transverse compressibility of the core, the classical sandwich
shell models with transversely incompressible core would provide
inadvert predictions.

Strong effects of the face sheet anisotropy on the development of
the different local and global buckling modes are observed. In this
context, the snap-through effect in the postbuckling of the geometri-
cally imperfect cylindrical sandwich shell under axial compression
can be eliminated by an appropriate choice of the face-sheet stacking
sequence with appropriate ply angles. The additional shortening of
the sandwich panel during the development of the face-wrinkling in-
stability has distinct effects on the overall load-deflection behavior,
especially in case of the resulting tangential edge loads. A similar
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effect is observed in the example of the spherical sandwich cap un-
der transverse pressure where the occurrence of the face-wrinkling
instability mode results in a decrease of the overall panel stiffness
and, thus, in a decrease of the external loads required for a specific
deformation. The development of the face-wrinkling instability de-
pends on the anisotropy induced by varying the ply angles of the
laminated face sheets.

Thus, the deformation and buckling behavior of structural sand-
wich panels involve complex effects of the core and face-sheet
anisotropy. The present refined sandwich shell theory enables a
comprehensive analysis of structural sandwich shells including all
major features. Especially the effects of the external geometry, the
effects of loading and boundary conditions on the development of
the face-wrinkling instability, and the effects of the face-wrinkling
instability on the overall load deflection behavior, as well as inter-
action effects, can be analyzed. Because of their nonlinear nature,
these effects cannot adequately be addressed in classical decoupled
approaches. Finally, the high numerical efficiency of the analytical
solution procedure based on the extended Galerkin method should
be emphasized.
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